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Abstract

To employ liquefied hydrogen (LH2) for large-scale storage and transportation of low-carbon energy, boil-off prediction
in cryogenic tanks is crucial. Boil-off is driven by heat ingress from the ambient, which also leads to pressurization and
thermal stratification in the ullage. In this work, a sharp-interface model is implemented in OpenFOAM and used to
predict pressurization, stratification and boil-off rates at three different fill levels of an LH2 tank. A buoyancy source term
is also implemented and added to existing RANS models. This source term is shown to completely suppress turbulence
in the ullage. We have performed a series of simulations, predicting pressurization rates and thermal stratification. The
results were compared to the K-Site experiments and for the first time, reasonable agreement was obtained across all
fill levels. The boil-off rate showed qualitative agreement with the experimental estimates but was underpredicted in
magnitude. The effects of heat-flux distribution, thermal contact resistance and variable wall thickness are also assessed,
and their impact was found to be significant. This motivates the need for improved thermal boundary conditions, as
well as possible coupling with resolved thermal models of the tank structure and insulation.
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1. Introduction

With the green transition comes the need for large-
scale energy storage due to the intermittency problem of
renewable sources such as wind and solar. In this regard,
hydrogen has emerged as a promising low-carbon energy
carrier [1]. At ambient conditions, however, the density
of hydrogen is very low, which is problematic in applica-
tions where volume is a constraint, such as in transport
systems and space or aviation applications. In these ap-
plications liquefied hydrogen (LH2) is attractive, with a
density almost 900 times higher than that at atmospheric
conditions. The drawback of this approach is the low boil-
ing temperature of hydrogen at around 20K, which leads
to high liquefaction costs; around one third of the energy
content is spent on liquefying it, though some of it can be
recovered during regasification. The low temperature also
means that LH2 is highly susceptible to heat ingress from
the ambient, causing evaporation, which is often referred
to as boil-off. Controlling boil-off is crucial due to the high
energy cost of liquefaction, and achieving this requires im-
proved understanding of the boil-off process [2].

In a context where experiments are scarce due to cost
and safety constraints, modelling is key to understand-
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ing the behaviour of LH2 tanks. In general, methods for
modelling LH2 tanks (or cryogenic storage tanks) can be
categorised into two classes: nodal models and computa-
tional fluid dynamics (CFD) models. Nodal simulations
range from simple 0D models, where each region of inter-
est (liquid, ullage, interface, walls, etc.) is represented by
a single node [3], to 1D models that discretise the domain
along the vertical direction and solve conservation equa-
tions for mass and energy [4]. The main advantage of nodal
models over CFD models are their low computational cost,
enabling the simulation of large-scale tanks over extended
periods of time. A recent review of modelling of both stor-
age and transfer of LH2 is given by Claussner et al. [5].

A common feature of most nodal simulations is the
use of empirical correlations to close the system of equa-
tions. Of particular importance are the heat-transfer coef-
ficients on both sides of the liquid–vapour interface, which
control the tank’s boil-off rate. There is no universally
accepted correlation in the literature, and the appropri-
ate value likely depends on tank geometry, fill level, and
insulation heat ingress. As a result, different strategies
are employed: some studies apply correlations for infinite
horizontal surfaces [6], while others introduce a constant
scaling factor calibrated against experimental data [7, 3].
Consequently, these models are typically limited to cases
for which suitable experimental data are available for tun-
ing the correlations.



Some authors have combined the two strategies, mod-
elling one of the phases with CFD while representing the
other as using a nodal approach [8, 9, 10, 11].

Increasingly, LH2 tanks have been simulated using two-
phase CFD models, particularly in studies of thermal strat-
ification and self-pressurization in closed tanks. Due to the
higher computational costs, however, the tank size and
simulation period tend to be limited compared with nodal
simulations. A recent review of both CFD and experimen-
tal works on closed LH2 tanks is given by Wang et al. [12].
In general, validation of CFD models has proved difficult
because experimental data for LH2 tanks are scarce, and
the available instrumentation is often insufficient to fully
specify the boundary and initial conditions required for
the simulations. One of the most widely used experiments
for validation is still the K-Site experiments performed by
NASA in the 1990s [13, 14, 15], that have also been used
for model validation by several authors [11, 16, 17, 18].

Due to the axisymmetric geometry and boundary con-
ditions of cylindrical and spherical storage tanks, most
CFD models of LH2 storage tanks employ axisymmetry.
When modelling both liquid and vapour phases, the Vol-
ume of Fluid (VoF) method is frequently employed with
the Schrage phase change model [19]. As an alternative
to VoF some authors have also utilised a sharp-interface
approach [20, 21], where the vapour and liquid phases are
treated as single-phase regions separated by a fixed in-
terface. This approximation is well-suited for free-surface
flows in which interface deformation can be neglected, such
as in stationary storage applications. Compared to interface-
capturing methods such as the Volume of Fluid (VoF) ap-
proach, the sharp-interface formulation substantially re-
laxes the spatial and temporal resolution requirements.

A recent study by Fernandes et al. [18] compared differ-
ent phase-change models using VoF in axisymmetric CFD
simulations of LH2 pressurization and found a strong de-
pendence of the results on the chosen phase-change model.
The 49% fill level from the K-Site experiments was used
for validation. The Schrage model was found to match
the experiments much closer than the other phase-change
models, which significantly underpredicted pressurization
after the first few hours. The Schrage phase-change model
was compared with the equilibrium phase-change model in
the sharp-interface simulations of Kassemi et al. [20]. In
the equilibrium model, the interface is assumed to remain
at the saturation temperature, and the two models were
found to give nearly identical predictions.

An important aspect that has received continuous at-
tention is on the role of turbulence. Cryogenic storage
tanks are commonly found to be above the critical Rayleigh
number for transition to turbulence, so turbulence mod-
elling is employed [9, 22]. The CFD simulations by Ros-
setti et al. [22] of LN2 tank experiments [23] found that the
pressurization predictions were significantly improved by
using the realizable k – ϵ turbulence model over a laminar
simulation. However, they also found that uncertainties
in the specified heat flux to the tank were large enough

to cause discrepancies of the same magnitude. On the
other hand, Kassemi et al. [24] found that not employing
a turbulence model provided the best results when vali-
dating their model against the K-Site experiments, even
though the Rayleigh number was above the critical value
also in this case. Using the k – ω Shear Stress Transport
(SST) turbulence model [25], both pressurization and ther-
mal stratification in the ullage was significantly underpre-
dicted. Recently Kartuzova et al. [17] found that the Im-
proved Delayed Detached-Eddy Simulation (IDDES) model
gave improved results. The model predicted pressuriza-
tion and thermal stratification with good results at low
and medium fill levels, but both were underpredicted at
the highest fill level. This was, however, also the case for
the laminar simulation. Using a non-uniform heat flux on
the tank wall improved the behaviour to some extent, but
worsened the results at the lowest fill level.

Kartuzova and Kassemi [26] investigated the impact
of conjugate heat transfer for the 49% fill level and found
that including tank wall conduction is crucial even in thin-
walled tanks. They also found that accounting for variable
wall thickness around weld lands and lid attachment im-
proved the predicted pressurization rate. The importance
of conjugate heat transfer was also demonstrated in simu-
lations of LN2 storage tanks by Rossetti et al. [22].

It is often challenging to evaluate the effect of mod-
elling errors due to significant uncertainty in the bound-
ary conditions. Consequently, the most suitable turbu-
lence modelling approach remains unclear, and predicting
stratification and pressurization over a range of fill levels
using a consistent approach remains challenging.

In this work, a sharp-interface approach is used to
model pressurization and stratification in the K-Site ex-
periments, with the aim of increasing the understanding of
turbulence effects and thermal boundary conditions. First,
the influence of including a buoyancy production term in
different RANS models is assessed and compared against
DNS data [27]. The sharp-interface model is then applied
to simulate pressurization and thermal stratification in the
K-Site tank across all available fill levels. A 1D analysis of
the experimental data also allows for comparison with the
boil-off rate for the two highest fill levels. The influence
of the buoyancy production term is then assessed, and the
sensitivity to the heat-flux distribution, thermal contact
resistance and variable wall thickness is investigated.

The rest of this paper is organised as follows. Section 2
describes the modelling methodology, while the case de-
scriptions of the DNS benchmark and the LH2 tank are
presented in Section 3. The 1D analysis of the K-Site LH2
data is also included in this section. The results from the
CFD simulations are presented and discussed in Section 4,
before the main conclusions are drawn in Section 5.

2. Methodology

This section outlines the CFD methodology, includ-
ing numerical setup and thermophysical properties, before
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discussing buoyancy treatment in RANS models. The two
simulation cases are presented in the following section.

2.1. Governing equations
The compressible Navier-Stokes equations are solved

using OpenFOAM [28] (foundation, v12), with the fluid
solver module.

The continuity equation reads,

∂ρ

∂t
+

∂ (ρuj)

∂xj
= 0 (1)

where ρ = ρ(p, T ) is the density which is obtained from an
equation of state (EoS) and ui is the i-th velocity compo-
nent. The momentum balance equation reads

∂ (ρui)

∂t
+

∂ (ρuiuj)

∂xj
=

∂

∂xj

(
µeff

∂ui

∂xj

)
− ∂p′

∂xi
− gjxj

∂ρ

∂xi
,

(2)
where p′ = p − ρgjxj is the modified pressure, gi is the
gravitational acceleration and µeff is the effective viscos-
ity (sum of molecular and turbulent contributions). The
energy balance equation reads

∂ρh

∂t
+
∂ρuj(h+K)

∂xj
= −∂p

∂t
+

∂

∂xj

(
αeff

∂h

∂xj

)
+ρuigi, (3)

where h is the specific enthalpy, K = 1
2ukuk is the specific

kinetic energy and αeff is the effective thermal diffusiv-
ity (sum of molecular and turbulent contributions). In
Eqs. (1) to (3), Reynolds averaging is assumed, and the
flow variables (e.g. ρ, ui, p, and h) represent Reynolds-
averaged quantities.

Finally, the heat equation is also solved inside the tank
wall,

ρ
∂e

∂t
=

∂

∂xi

(
λ(T )

∂T

∂xi

)
, (4)

where e = cv(T ) T is the specific internal energy and λ(T )
the thermal conductivity. At fluid-solid interfaces, bound-
ary conditions are specified by imposing energy conserva-
tion and continuity of temperature.

2.2. Equation of state and thermophysical properties
Previous CFD studies of LH2 storage have commonly

employed the ideal-gas equation of state (EoS) for the
vapour phase, even though hydrogen exhibits significant
real-gas effects under typical cryogenic storage conditions
[29]. In the present work, the vapour phase is therefore
modelled using the Peng–Robinson EoS [30], which offers
improved accuracy in the relevant pressure and tempera-
ture range. Density predictions from the Peng–Robinson
EoS and the ideal gas law are compared against the accu-
rate reference multiparameter equation of state (MEOS)
by Leachman et al. [31] for three different pressures in
Fig. 1. The comparison shows that the Peng–Robinson
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Figure 1: Density predictions of the Ideal Gas Law and Peng–
Robinson EoS [30] (OpenFOAM implementation), compared with
the MEOS by Leachman et al. [31].

EoS performs substantially better, particularly at lower
temperatures, where real-gas effects are most pronounced.
While the ideal-gas law exhibits density deviations of 9.5%
at 1.0 bar and up to 23.3% at 2.0 bar, the Peng–Robinson
model yields significantly smaller errors; only 0.39% and
2.99% at 1.0 bar and 2.0 bar, respectively.

The specific heat at constant pressure, cp, is tabulated
from NIST data for para-hydrogen [32], while thermal con-
ductivity and dynamic viscosity are fitted as temperature
polynomials to the same data.

In the liquid phase, temperature variations are sig-
nificantly smaller than those occurring in the gas phase,
and the resulting relative density changes are therefore
small. For this reason, the Boussinesq approximation has
been widely employed in previous studies [20, 17, 18]. In
this work, the rPolynomial model in OpenFOAM is used,
where the density ρ is given by

1

ρ
= C0 + C1T + C2T

2 − C3p− C4pT, (5)

where the coefficients have been fitted to saturation con-
ditions at 1 bar. Temperature polynomial fits are used for
enthalpy, viscosity and thermal conductivity.

Without a catalyst, the conversion rate between para-
and ortho-hydrogen is extremely slow. Petitpas et al. [33]
found that para-ortho conversion required 10–15 days of
dormancy to initiate and 25–30 days to complete conver-
sion to the equilibrium composition. Since the K-Site
experiments are of much shorter duration (less than 24
hours), para-ortho conversion effects are not considered in
this work.

2.3. Turbulence modelling and the role of buoyancy
The flow in stationary cryogenic storage tanks is driven

by density gradients caused by heat ingress from the tank
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walls. This leads to the development of a natural con-
vection boundary layer along the heated walls, which en-
hances heat transfer into the bulk fluid region. If the driv-
ing force is strong enough, the flow will eventually transi-
tion into a turbulent regime. This transition also depends
on the geometry, and for cryogenic storage tanks, the verti-
cal heated plate is often used as an approximation to judge
whether the flow is expected to be laminar or turbulent.

A natural convection boundary layer on vertical flat
plate with a fixed wall temperature transitions to turbu-
lence when the Rayleigh number, defined as

Ra =
ρgβ∆TL3

µα
, (6)

exceeds a critical value, Rac ≈ 109. Here, g is the gravi-
tational acceleration, β the thermal expansion coefficient,
∆T = Tw − T∞ the characteristic temperature difference,
L the characteristic length, and µ and α the dynamic vis-
cosity and thermal diffusivity, respectively. In this config-
uration, the plate has a constant temperature Tw, and T∞
is the fluid’s bulk temperature.

In the derivation of the transport equation for specific
turbulent kinetic energy k with variable density, a buoy-
ancy production term arises [34],

Pb,k = u′
iρ

′ gi, (7)

where u′
i and ρ′ are the velocity and density fluctuations,

respectively.
This term is included by default for selected turbu-

lence models in some commercial solvers, but its inclusion
is rarely reported in previous CFD studies of LH2 stor-
age tanks. As a result, its influence on predicted strati-
fication, pressurization, and boil-off rate remains largely
unexplored. In this work, the buoyancy source term is im-
plemented in OpenFOAM as a run-time-selectable source
term applicable to both the k–ϵ and k–ω turbulence model
families.

The velocity-density correlation term in Eq. (7) is com-
monly modelled using the Simple Gradient Diffusion Hy-
pothesis (SGDH) [34], using the turbulent Prandtl number
Prt = νt/αt (ratio of eddy viscosity and turbulent ther-
mal diffusivity) and the Reynolds-averaged density gradi-
ent ∂ρ/∂xi . In this work, Prt = 0.85 is adopted [10]. This
leads to the following expression for the buoyancy source
term:

Pb,k =
νt
Prt

∂ρ

∂xi
gi. (8)

The buoyancy source term can act both as a source and
a sink of turbulent kinetic energy, depending on the strat-
ification. For stable stratification, the density decreases
with vertical position, ∇ρ · g > 0, which leads to Pb,k < 0.
Thus, turbulent fluctuations are dampened by the stable
stratification. On the other hand, unstable stratification
has the heavier fluid on top, ∇ρ · g < 0, which leads to
Pb,k > 0. This enhances the turbulent fluctuations.

The source term is added semi-implicitly to the trans-
port equation for k: for Pb,k > 0 it is treated explicitly
as a source term, whereas for Pb,k < 0 it is linearized as
(Pn

b,k/k
n−1) kn, where n is the current time step. This

treatment significantly improved robustness, particularly
for low turbulence levels.

The source term is also added to the transport equation
for turbulent dissipation rate as

Pb,ϵ = Cϵ1 tanh
(∣∣∣ v

u

∣∣∣) ϵ

k
Pb,k, (9)

where v and u are the velocity components parallel and
normal to the gravitational acceleration, respectively, and
Cϵ1 is a constant from the turbulence model. This term
is also added semi-implicitly, but as it is already linear in
ϵ, the linearization procedure that was used for k is not
needed.

The tanh limiter in Eq. (9) was proposed by Henkes
et al. [35] and is widely used in the literature and in com-
mercial codes [36, 37]. It acts as a limiter for Pb,ϵ, which
goes towards zero when the mean flow is horizontal (nor-
mal to the gravitational acceleration). However, Sebilleau
[34] reported poor performance of this treatment of the
buoyancy production term in the ϵ equation in the con-
text of Reynolds stress models and advised against its use.
In the present work, omitting the limiter resulted in in-
creased dissipation rates and reduced effective heat trans-
fer relative to the DNS data, and it is therefore retained
here.

In the k – ω SST model [25], Pb is also added to the
transport equation for the specific dissipation rate ω. Since
it is already in linear form, it is treated implicitly as

Pb,ω = γ
ω

k
Pb,k, (10)

where γ = 0.56 [38].
For the v2 – f model, the source term Pb,v2 is added to

the transport equation for v2 in the same manner as the
shear production term Pk. The effect of this source term
is assessed using a benchmark case in Section 3.1.

2.4. Solution algorithm
The fluid solver module in OpenFOAM is a so-called

all-Mach solver, capable of modelling a compressible fluid
at low Mach numbers without the time-step being con-
strained by the sound speed [39]. This makes it ideal for
flows with low momentum but large density gradients due
to temperature variations.

The PIMPLE algorithm is used for pressure–velocity
coupling, which is a combination of the PISO (Pressure-
Implicit with Splitting of Operators) [40] and SIMPLE
(Semi-Implicit Method for Pressure Linked Equations) [41]
algorithms. In each time step, a series of outer correc-
tor iterations (PIMPLE loops) is performed, during which
the gas, liquid, and metal regions are solved sequentially.
A maximum of five outer correctors is allowed per time
step; however, the PIMPLE loop is terminated early when
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the initial pressure residual falls below 10−3. For simula-
tions with the v2 – f turbulence model [42], a tolerance of
5× 10−3 is also used for the elliptic equation for f . Each
PIMPLE iteration includes three inner PISO correctors
and one or two non-orthogonal correctors (depending on
the mesh-quality). After the initial transient phase, con-
vergence within each time step is typically achieved using
two to three outer correctors.

Temporal discretisation is performed using a second-
order implicit backward scheme. Convective terms are
discretised using the bounded second-order limitedLinear
scheme. Spatial gradients are evaluated using a point-
based least-squares method, and full non-orthogonal cor-
rection is applied in the Laplacian operator discretisation.
Adaptive time stepping is employed, maintaining a maxi-
mum Courant number of Comax = 0.5.

3. Case definitions

In this section, the cases to be simulated are defined.
First, a benchmark case is introduced to assess the perfor-
mance of different turbulence models against DNS data for
a square cavity. After that, the sharp-interface formulation
used to model pressurization and thermal stratification in
the K-Site LH2 tank is described. The corresponding re-
sults are presented in the following section and compared
with experimental data.

3.1. Benchmark case: The differentially heated square cav-
ity

To evaluate the performance of the turbulence mod-
els for simulating natural convection at high Ra, a direct
numerical simulation (DNS) dataset of turbulent natural
convection in a differentially heated square cavity (DHSC)
is employed as a benchmark reference, see [27]. We test
a selection of three turbulence models, in addition to as-
sessing the effect of adding the buoyancy production term
Pb.

The 2D computational domain of the DHSC is illus-
trated in Fig. 2. The left and right vertical walls are hot
and cold, respectively, while the top and bottom walls vary
linearly from Th to Tc from left to right. For consistency
with the model used in the DNS dataset, the Boussinesq
approximation is used for the buoyancy force in the mo-
mentum equations. We chose Th = 50 ◦C and Tc = 10 ◦C,
based on the experiments by [43]. Ra, which was defined
in Eq. (6), is then modified by adjusting the length L.
The DNS dataset contains simulation results for Ra rang-
ing from 108 to 1011, and due to the application to LH2
storage tanks, we use the two highest Ra cases, namely
Ra = 1010 and Ra = 1011.

In contrast to pressure-driven flows, where the logarith-
mic law of the wall is well known, the directional depen-
dency of a natural convection boundary layer has made the
development of universal wall functions challenging [27].
To accurately capture the viscous and thermal boundary

layers, the boundary layer is therefore often resolved in
natural convection flows. This imposes higher-resolution
requirements in both space and time, making transient
simulations computationally intensive, even in two dimen-
sions.

The alternative is to sacrifice accuracy for computa-
tional speed-up, and employ standard wall functions to
avoid resolving the boundary layer. In natural convection
flows, satisfying the conventional requirement 30 < y+ <
200 can be problematic. The dominating velocity and tem-
perature gradients are typically confined to the near-wall
boundary layer, which may lie entirely below y+ = 30
in weakly turbulent flows. Enforcing y+ > 30 can there-
fore place the first computational cell centre outside the
boundary layer and into the stagnant core region. For
this reason, we use the nutUSpaldingWallFunction for νt,
which transitions smoothly from the log-law region to the
viscous sublayer.

bottom

Tc

top

Th

g⃗

y

x

L

L

Figure 2: Domain and boundary conditions for the differentially
heated square cavity (L× L) test case.

The heat transfer from the vertical walls is quantified
by the average Nusselt number, defined as

Nuj = − 1

∆T

∫ L

0

∂T

∂x
|x=xj dy (11)

where j ∈ {hot, cold}, xhot = 0 and xcold = L.
To save computational time, a precursor simulation is

performed using the v2 – f model, and is used as the initial
condition for all subsequent simulations. The simulations
are run for t∗ = 200 before time averaging starts and they
are then run for another t∗ = 200. Here t∗ = t

√
Raα/L2 is

the non-dimensional time. The grid resolution is 250×250
and 300×300 for the Ra = 1010 and Ra = 1011 simulations,
respectively.

3.2. The K-Site tank case
The K-Site experiments were reported by Hasan et al.

[14], Van Dresar et al. [15]. The utilized tank is con-
structed of two ellipsoidal caps with major diameter of
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2.2m and a major to minor axis ratio of 1.2, which gives a
volume of 4.89m3. The tank is constructed of aluminium
2219-T62, and is milled to a wall thickness of 2.08mm.
The thickness is increased near weld lands and the lid, al-
though these variations are not specified in detail. The
tank was instrumented with temperature sensors in the
fluid and on the outside of the tank wall. The tank pres-
sure was monitored in a closed configuration (pressuriza-
tion tests) and the flow rate was measured in a vented
configuration to estimate the average heat flux from the
ambient (boil-off tests). Three different ambient tempera-
tures were used to vary the heat ingress, and in this work
we use the experiments with qw = 3.5Wm−2 average heat
flux. Heat leaks through struts, piping, and instrumen-
tation were also estimated in boil-off tests by Stochl and
Knoll [13], and accounted for around 15% of the total heat
transfer rate of 49W.

3.2.1. Analysis of experimental data
For the 83% and 49% fill levels, time series for the tank

pressure and the thermocouples are available, sampled at
1/2 hour intervals. This allows for direct comparison of
the temperature profiles and tank pressurization, and has
been useful when validating both nodal and CFD models.
This direct comparison does not, however, yield insight
into the accuracy of the predicted mass transfer rate, which
is of key interest when determining the accuracy of heat
transfer correlations used at the interface.

In this section, the experimental data are used to esti-
mate the evaporation rate and the mechanisms of pressur-
ization. To estimate the evaporation rate, the mass of the
vapour phase is calculated using temperature and pressure
data. The key assumptions in this analysis are

1. The temperature only varies in the vertical direction,
i.e., is uniform in the radial and azimuthal direction.

2. Hydrostatic and inertial pressure effects in the ullage
are negligible compared with the total pressure in the
tank.

With these assumptions, the experimental temperature
data can be used to generate continuous temperature pro-
files at each sampled time. Together with the pressure, the
total vapour mass in the ullage can readily be estimated
as

m =

∫ ytop

yinterface

ρ(T (y), p)Ac(y) dy, (12)

where Ac(y) is the cross sectional area at height y. Here,
the vapour density ρ(T, p) is evaluated using the MEOS
by Leachman et al. [31], and integration is performed with
the trapezoid rule in numpy. This is done at each sampled
time, and the boil-off rate is then estimated as the time
derivative of the vapour mass, ṁ(t).

In addition to estimating the boil-off rate, we also anal-
ysed the pressurization rate by decomposing it into ther-
mal and boil-off-induced pressurization, analogously to the
approach in [44]. Based on their findings, one can assume

that the velocities in the ullage are so low that inertial ef-
fects on pressure are negligible. The total time derivative
of pressure is then expressed as

dp(y, t)

dt
=

(
∂p

∂T

)
ρ

dT (y, t)

dt
+

(
∂p

∂ρ

)
T

dρ(y, t)

dt

= ∆pT (y, t) + ∆pṁ(y, t).

(13)

Here, we also assume that the pressure is uniform, and
we calculate the terms by integrating over the volume

∆pT =

∫ (
∂p

∂T

)
ρ

dT

dt
Ac(y) dy

∆pṁ =

∫ (
∂p

∂ρ

)
T

dρ

dt
Ac(y) dy.

(14)

This decomposition will reveal if either pressurization
by thermal expansion or phase change (evaporation or con-
densation) dominates, which is useful when validating di-
rectly against the pressurization rate. To the authors’
knowledge, this analysis has not been reported for this
experiment before.

The resulting evaporation rate and pressurization com-
ponents are shown in Fig. 3. From the boil-off rate, one
can see that condensation occurs in the first 2 h to 3 h,
before transitioning to net evaporation. This can also be
seen from the pressurization components, where ∆pṁ is
negative. The thermal contribution ∆pT is positive and
larger in magnitude than ∆pṁ, so the net effect is a pres-
sure increase, i.e., the heating of the gas compensates for
the condensation. We also observe that ∆pT declines rel-
atively fast and goes asymptotically to zero, whereas ∆pṁ
changes sign and accounts for pressurization alone after the
initial transient. This indicates that the ullage is heated up
significantly at the beginning of pressurization, but after
around 5 h the thermal contribution is small. This means
that the ullage does not become significantly warmer after
this, and even more heat is available for evaporation of the
liquid.

3.2.2. Boundary and initial conditions
The gas and liquid phases are modelled as separate

single-phase regions, connected by a flat, stationary inter-
face. In the following, the boundary conditions applied to
all regions of the computational domain are described, in-
cluding the coupling conditions imposed at the gas–liquid
interface.

In the present work, the interface is explicitly resolved
through the sharp-interface approach. We use the quasi-
equilibrium phase change model, in which the heat fluxes
are assumed to be sufficiently low for the interface to re-
main at the saturation temperature. In this limit, all
heat transferred to the interface is directly used for phase
change, eliminating the need for empirical coefficients. This
contrasts with the Schrage phase-change model, which is
derived from kinetic theory and permits Ti ̸= Tsat. Kassemi
et al. [20] compared both approaches and reported that
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Figure 3: Results from the 1D analysis of the experimental K-Site data. (a) Estimated boil-off rate for 49% and 83% fill levels and
pressurization decomposition for (b) 49% fill level and (c) 83% fill level.

they yield identical results under the conditions consid-
ered.

The thermal boundary condition of the interface is then

Ti = Tsat(pg,i). (15)

This condition is imposed as a Dirichlet boundary condi-
tion, with the interface temperature updated explicitly at
each iteration using the current value of the gas-side inter-
face pressure pg,i in Eq. (15). The heat flux is evaluated
at the interface as

qg,ℓ→int = −λeff
∂T

∂n

∣∣∣∣
g,ℓ→int

, (16)

with λeff being the effective thermal conductivity at the
interface. The mass flux from the liquid to the gas phase
is then calculated as

m′′ =
qg→int + qℓ→int

∆hvap , (17)

where ∆hvap is the specific latent heat of vaporisation. The
mass flux is translated to normal interface motion, but due
to low mass fluxes, the interface normal movement is very
small compared with the convective flows near the inter-
face. Due to the large density ratio between the liquid and
vapour phases, a given mass transfer results in a negligi-
ble change in liquid volume and mass [8]. In contrast,
the vapour phase is highly compressible, such that the
added mass directly influences the ullage pressure, while
the liquid can be considered nearly incompressible under
the present conditions. Consequently, the mass flux is ap-
plied only to the vapour side of the interface and not re-
moved from the liquid, following the approach of Kassemi
et al. [24],

ug,n =
m′′

ρg
, ul,n = 0. (18)

For the tangential velocity component, the free surface
condition holds on the interface between liquid and gas

ug,t = ul,t and τg = τl, (19)

where ug,t and ul,t are the tangential interface velocity
components in gas and liquid phases, respectively. The
shear stress is defined as τ = ∂u/∂n µ|i.

For the turbulence quantities (k, ϵ, ω, v2, f , νt), stan-
dard wall treatment is used at tank walls, with wall func-
tions being used on high-Re grids (where the boundary
layer is not resolved), while for low-Re grids, low-Re bound-
ary conditions are employed. On the gas side of the inter-
face, the interface is treated as a wall for the turbulence
quantities, while on the liquid side, zero-gradient bound-
ary conditions are used [21]. All boundary conditions are
summarized in Fig. 5.

The thermal boundary conditions on the outer side of
the tank are also important, as they provide the driving
force for flow and heat transfer within the tank. The heat
transfer through the tank walls of the K-Site tanks was es-
timated in boil-off tests [13, 14, 15]. Most previous studies
use a uniform heat flux boundary condition on the out-
side of the tank wall. Stewart and Moder [45] found that
the variation in heat flux to the tank wall was less than
5 %. In a recent paper by Kartuzova et al. [17], the ef-
fect of a non-uniform heat distribution was demonstrated,
where a fraction of the heat is diverted to the lid region
of the boundary. This improved the predictions, and this
approach will also be used here.

The initial temperature fields used for the three dif-
ferent fill levels are shown in Fig. 4. The fields are ob-
tained by interpolating the experimentally measured tem-
peratures from the K-Site experiments by Van Dresar et al.
[15], Hasan et al. [14], where the steady boil-off initial con-
dition was used. The liquid is initialised to the saturation
temperature at the initial tank pressure p0 = 1.03 bar,
which is justified by the fact that the tanks are initially
vented, i.e., isobaric. Thus, at steady-state, the liquid will
be close to saturation.

Before the start of the tank pressurization simulation,
30 minutes of isobaric flow is simulated in the liquid phase
only (with the saturation temperature and a slip wall at
the liquid–gas interface). Additionally, the energy equa-
tion is solved in the wall region, with Dirichlet boundary
conditions at the gas boundary. This preconditioning al-
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Figure 4: Initial velocity field in the liquid and temperature field in the gas for a) 29%, b) 49% and c) 83% fill levels. The temperature field
is interpolated from experimental measurements [15], while the initial liquid velocity field is obtained by simulating only the liquid phase and
solid regions for 30min.

lows the liquid to develop a physically realistic natural con-
vection pattern and avoids an artificially strong transient
at early simulation times. The low-density gas phase is
already stratified and reaches a developed flow state much
faster than the liquid and was therefore not included in
the preconditioning. The resulting initial liquid velocity
fields and vapour temperature fields for the reference case
at each fill level are shown in Fig. 4.

3.2.3. Numerical grid
The computational mesh is generated using Gmsh through

a fully automated and parametrised scripting procedure.
The simulations are performed on a two-dimensional ax-
isymmetric grid, reducing the computational cost signifi-
cantly compared with three-dimensional simulations. The
mesh generation allows independent specification of the
fill level, wall-normal (∆xw,n) and wall-tangential (∆xw,t)
cell size, bulk cell size (∆xb), and boundary-layer growth
rate. The grid is generated by using structured quad-
blocks at the boundaries, connected by a quasi-structured
quad-dominated grid in the bulk region. The wall-normal
cell size grows with 5% per layer until it reaches the wall-
tangential cell size. Additionally, variable wall thickness
and internal wall boundaries can be added to the grid.
At very high or very low fill levels, mesh skewness and
non-orthogonality tend to increase because the liquid-gas
interface is constrained to be horizontal, which can cause
numerical stability issues. To mitigate this, a Laplacian
smoothing procedure is applied after mesh generation. As-
sessment of the grid sensitivity of the model is presented in
Appendix A. An illustration of the grid is shown in Fig. 6.

3.2.4. Modelling heat transfer in tank walls
Including the inner tank wall in the CFD model is es-

sential, as heat transport from the dry to the wetted wall

region arises from the vertical temperature gradient, as
demonstrated by several authors, e.g. Stewart and Moder
[45], Kassemi and Kartuzova [46], Rossetti et al. [22].

The K-Site tank is made from milled AA2219 aluminium
[13], with a thickness of 2.08mm. The thermal conductiv-
ity and heat capacity in Eq. (4) exhibit significant variation
in the temperature range relevant to this study for this al-
loy. Stewart and Moder [45] observed that the thermal
conductivity of AA5083 closely resembles that of AA2219,
and the NIST formulation for AA5083 was therefore adopted,
as shown in Fig. 7a. In contrast, heat capacity (Fig. 7b)
does not follow this correspondence: AA2219 aligns more
closely with AA2024, while AA5083 deviates notably at
low temperatures (4K to 100K), a discrepancy not ad-
dressed in previous K-Site tank simulations that employ
the AA5083 alloy and one that will significantly affect
thermal diffusivity. The tank alloy is tempered (T62),
which tends to impact thermal conductivity in the cryo-
genic range [49]; however, data for this temper is not avail-
able, and we thus employ the available AA2219 (T81) data
in this work.

In their recommendations for future work, Stewart and
Moder [45] noted that the thermal contact resistance (TCR)
between the tank and lid should be considered. To the au-
thors’ knowledge, this effect has not yet been included in
existing CFD models, and its impact is investigated here.
TCR depends on the materials in contact, surface rough-
ness, contact pressure, and temperature. These details are
not reported for the experiment considered, making speci-
fication challenging. While specific information on the K-
Site lid attachment is unavailable, similar tanks commonly
use indium wire as a sealant. Depending on the above fac-
tors, TCR can vary by orders of magnitude [50, 51]. In this
work, two values are selected for the thermal contact con-
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Figure 5: Overview of boundary conditions for the K-Site CFD
model.

ductance (the inverse of the thermal contact resistance),
KH = 100Wm−2 K−1 and KH = 1000Wm−2 K−1, to
cover a representative range of interface conditions. These
values are chosen based on the measurements reported by
Sunil Kumar and Ramamurthi [52], who found thermal
contact conductances of this order of magnitude for alu-
minium joints over a range of contact pressures and tem-
peratures between 50K to 300K.

3.2.5. Definition of reference cases
Two reference cases are defined to establish a consistent

point of comparison for all simulations presented in this
work. One for low-Re (wall resolved) grid labelled LR, and
one for high-Re (wall modelled) grid labelled HR. The grid
resolution is based on the results of the grid refinement
analysis in Appendix A. The grids in the low-Re cases
have ∼ 170 000 cells, whereas the high-Re grids have ∼
52 000 cells. The reference case defined in Table 1 specifies
the physical models, material properties, and boundary
condition assumptions used throughout the study. The
non-uniform heat flux is distributed such that 14% of the
total heat (49.6W [13]) is applied to the lid boundary,
whereas the rest is distributed evenly on the rest of the
tank wall.

The simulations require approximately 250 and 2000
CPU hours per simulated hour for the high-Re (HR) and
low-Re (LR) reference cases, respectively. They were per-

formed on AMD EPYC Turin CPUs, using 32 cores for the
HR case and 64 cores for the LR case. The significantly
lower computational cost of the HR case is attributed to
its coarser resolution near the wall, which also allows for
larger time steps.

Table 1: Definition of the reference cases for low-Re (LR) and high-
Re (HR) simulations.

Parameter Low-Re High-Re

RANS model v2 – f k – ω SST
Pb Enabled Enabled
Tank material AA2219 AA2219
Wall thickness Constant Constant
qw Non-uniform Non-uniform
KH 100Wm−2 K−1 100Wm−2 K−1

∆xw,n 0.3mm 1.5mm
∆xw,t 2.0mm 4.0mm
∆xb 6.0mm 8.0mm

4. Results and Discussion

4.1. Benchmark case: The differentially heated square cav-
ity

The local Nusselt number is shown in Fig. 8a for the
cold wall. The laminar simulation is included as a refer-
ence, and under-predicts, as expected, the heat transfer in
the cavity significantly.

Looking first at the performance of the different tur-
bulence models without the buoyancy source term (dashed
lines in Figs. 8a and 8b), it is clear that the v2 – f and LS
k – ϵ models match the DNS results more closely than the
k – ω SST model. The LS k – ϵ model matches quite well
in the lower region of the cold wall, but under-predicts
in the region close to the maximum Nu. The turbulent
kinetic energy (TKE) k profile is sampled along the hori-
zontal line y = L/2, and is compared against DNS data in
Fig. 8b. It is evident that k – ω SST under-predicts TKE
in the boundary layer, both with and without the source
term. LS k – ϵ also under-predicts the peak TKE, but
over-predicts the width of the turbulent boundary layer.
This over-prediction is even more severe when including
the source term. The v2 – f model, on the other hand,
closely matches the TKE profile. It slightly under-predicts
close to the wall, but follows the DNS data closely, also in
the transition to the laminar bulk region. It should also
be noted that the LS k – ϵ model failed to transition to
turbulence when initialised from a quiescent initial condi-
tion, both with and without Pb and is hence not considered
further in this work.

Also for the Ra = 1011 case, the v2 – f model with
Pb matches the DNS data closely, as can be seen in Fig. 9
(blue lines). To investigate the sensitivity to boundary
layer resolution, the case is run with three different wall
cell sizes ∆xw ∈ {0.25×10−3, 1.0×10−3, 2.0×10−3}, where
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Figure 6: Illustration of numerical grid at 49% fill level. The grid here is made coarser for illustrational purposes, and shows the structured
boundary layer mesh at the wall, lid and interface boundaries, and the transition to the unstructured grid in the bulk fluid regions of the
tank. The mesh regions are coloured: gas ( ), liquid ( ), tank wall ( ), and lid ( ).

∆xw is the wall normal cell thickness normalized by the
cavity length L. The bulk cell size and cell growth ratio are
kept constant. These values resulted in y+max of 1.29, 2.56
and 5.16, respectively. From Fig. 9b it is clear that the Nu
profile shows asymptotic convergence, even with y+max > 1.

The results from using the k – ω SST model with high-
Re (wall function) treatment is also shown in Fig. 9 (yel-
low lines), with varying first wall cell size. In contrast to
the wall-resolved v2 – f simulations, no asymptotic conver-
gence is observed with increased refinement of the wall cell
height. The grid with ∆xw = 2.5×10−3 matches the DNS
data relatively well, but the finer (∆xw = 1.25×10−3) and
coarser (∆xw = 3.5×10−3) grids both under-predict Nu in
comparison (Fig. 9a). The same trend is seen in the TKE
profile in Fig. 9b. This behaviour is likely a consequence of
the fact that the wall functions are developed for pressure-
driven boundary layers, which differ fundamentally from
natural convection boundary layers that dominate here.
The deviation from DNS data is still similar to what was
observed in the Ra = 1010 case with a resolved boundary
layer.

From these results, we conclude that the v2 – f turbu-
lence model on a wall resolved grid is the most accurate
of the ones investigated here. Using the k – ω SST tur-
bulence model with wall functions introduces a modelling
error that is sensitive to the wall-normal resolution. There-
fore, a grid sensitivity analysis is required to ensure that
this error does not significantly affect the results. For both
the v2 – f and k – ω SST turbulence models, the impact
of Pb is small for the DHSC case. Nevertheless, this term
should be retained for physical consistency, as it may be-
come more important in cryogenic fluids where density is
more sensitive to temperature variations.

4.2. The K-Site tank case
This section presents the simulation results from the

K-Site tank. The focus is on the evolution of temperature,
pressure and boil-off rate in the tank, and on the sensitivity
of these responses to modelling choices. First, the effect
of the buoyancy source term is presented, before impact
of thermal boundary conditions, tank material and wall
thickness are addressed.

4.2.1. Impact of the buoyancy source term
This section will present and discuss the results from

the simulations with (reference case) and without the buoy-
ancy source term in the RANS models. The evolution of
the tank pressure and the vertical temperature profile is
shown in Fig. 10 for all three fill levels.

From the pressurization rates in Fig. 10, we see clearly
that for all fill levels, the CFD model significantly underes-
timates when Pb is not accounted for (HR w/o Pb cases).
For the 29% and 83% fill levels (Figs. 10a and 10c, re-
spectively), the deviations are notable from early in the
pressurization. On the other hand, it seems to be in closer
agreement with the experiment for longer in the 49% fill
level. After around 7 h, however, the measured tank pres-
surization rate starts increasing. In contrast, the CFD sim-
ulation without Pb does not exhibit this increase, leading
to larger deviations as the simulation progresses further.

For the CFD simulations with Pb (HR and LR refer-
ence cases), the pressurization predictions for the 29% fill
level are much closer to the experiments. We note that
the HR and LR results are very similar initially, but the
HR simulation begins to diverge from the LR case after
approximately 5 h, predicting a slightly lower pressuriza-
tion rate. The LR simulation remains closer to the ex-
perimental data. The simulations for the two highest fill
levels (49% and 83%) also follow the experiments closely
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Figure 7: Thermal properties of aluminium alloys: (a) thermal con-
ductivity and (b) specific heat capacity. Data from NIST [47], TPSX
[48] and Simon et al. [49].

the first 2 h to 3 h. After this, the pressurization rate in
the experiments decreases slightly before rising again to a
quasi-steady state. This temporary dip in pressurization
rate is not captured by the HR or LR reference cases, so
the tank pressure is overestimated. After the pressuriza-
tion rate stabilizes again, the HR simulation at 49% fill
level matches the experimental pressurization rate well,
with a constant offset due to the temporary drop in pres-
surization rate. The same is true for the 83% (Fig. 10c) fill
level, but here the HR simulation quasi-steady pressuriza-
tion rate is somewhat lower than that of the experiments.

Turning to the temperature profiles in Figs. 10d to 10f,
the trend is clear: without Pb, the ullage stratification is
significantly underpredicted at all fill levels. Here, strat-
ification refers to the development of a vertical tempera-
ture gradient in the ullage, with warmer gas accumulat-
ing near the top and colder gas remaining near the liq-
uid interface. This aligns with the observed pressurization
behaviour, since the thermal contribution to pressure in-
crease is smaller. On the other hand, the reference case

(a)

(b)

Figure 8: Results from the DHSC benchmark case, with Ra = 1010

with wall resolved (low-Re) grid, comparing turbulence models with
( ) and without the buoyancy production source term Pb ( ).
(a) Time-averaged local Nusselt number distribution on cold wall
and (b) time-averaged turbulent kinetic energy k normalized by the
free fall veloctity u∗ = α

√
Ra/L sampled at y = L/2

simulations provide predictions much closer to the exper-
iment for all fill levels. This is in contrast to the results
in the DHSC (Fig. 9), where significant differences in heat
transfer are observed for HR and LR treatment. In the
DHSC configuration, the wall temperature was prescribed,
whereas the LH2 tank is more representative of a fixed heat
flux condition. The thermal resistance of the tank wall is
small and identical in both the HR and LR simulations.
Consequently, the total heat input to the vapour phase
through the wall is essentially independent of the wall
treatment. The primary region where differences between
HR and LR could arise is therefore at the liquid boundary.
However, when including Pb, both cases remain laminar in
the vapour phase, such that the interfacial heat transfer is
not influenced by the RANS modelling approach.

The impact of the buoyancy source term can be made
clearer by examining the TKE in Fig. 11. The left-hand
side of Figs. 11a and 11b shows the HR reference case
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Figure 9: Results from the DHSC benchmark case, with different
wall cell sizes for Ra = 1011, using the v2 – f model with low-Re
treatment (blue) and the k – ω SST model with high-Re treatment
(yellow). Both use the buoyancy production source term Pb.

(with Pb) for the 49% and 83% fill levels, respectively.
Comparing the turbulence levels in the vapour phase, the
differences observed in pressurization and stratification are
linked to the role of Pb. In the reference cases, there is no
turbulence in the vapour phase, while neglecting Pb pre-
dicts turbulence throughout the vapour region. This en-
hances mixing and increases the heat-transfer rate from
the vapour to the liquid interface. As a result, the ther-
mal stratification is significantly reduced compared with
the experiments, see Figs. 10d to 10f. The same mecha-
nism explains the lower predicted pressurization rates for
simulations without Pb, since these are largely governed
by thermal expansion. The liquid phase is also impacted
by the buoyancy source term. When including the term
(reference cases), the turbulence levels are elevated due to
unstable stratification as a result of heating from below.

Compared with the predicted temperature profiles, the
pressurization rate in Figs. 10a to 10c exhibits a larger dis-

crepancy between the HR and LR simulations. As shown
in Section 3.2.1, the pressure rise results from both thermal
expansion and boil-off effects, suggesting that the devia-
tion primarily arises from differences in the predicted boil-
off rate. The largest difference is observed at the 83% fill
level, which is expected since the vapour volume is small-
est in this case and therefore more strongly influenced by
the boil-off gas.

The boil-off rate is shown in Figs. 13a and 13b for
the 49% and 83% fill levels, respectively. They are com-
pared with the estimated boil-off rates. To quantify the
uncertainty arising from experimental temperature mea-
surements, a Monte Carlo approach was employed. Gaus-
sian noise with standard deviations of 0.3K for wall tem-
peratures and 0.05K for fluid temperatures was added to
the experimental data, and the boil-off estimation (Sec-
tion 3.2.1) rate was recomputed for 1000 realizations. The
resulting mean and standard deviation is shown in Figs. 13a
and 13b with circular markers and error-bars, respectively.
For both fill levels and all cases, the condensation from the
CFD simulations in the first 2 h to 3 h is less than the ex-
perimental estimates. For the 49% fill level (Fig. 13a),
the impact of Pb is also clear. After around 1 h the case
without Pb transitions to net evaporation, whereas the ref-
erence case simulations transition to evaporation around
the same time as the experiments (∼ 2.5 h). At later sim-
ulation times, the HR and LR reference cases are in close
agreement, with slightly higher boil-off rates predicted by
the LR case, which is in accordance with the higher pres-
surization rate observed. The HR case without Pb is sig-
nificantly higher, before being overtaken in boil-off rate by
the HR reference case after around 10 h.

In the 83% fill level difference between the models is
largest after the second half of the simulation, where the
reference cases predict higher boil-off rates, with the LR
simulation being closest to experimental estimates.

The initial discrepancies in boil-off rates may have sev-
eral sources, including the sharp-interface assumption. This
formulation constrains the interface by preventing any interface-
normal motion except that associated with the prescribed
phase-change velocity on the vapour side. Although these
velocities are generally small, this restriction may influ-
ence convective mixing and thereby reduce the effective
heat transfer at the interface.

The sharp-interface formulation also neglects capillarity-
induced deformation of the interface near the tank wall and
instead assumes that the flat interface extends directly to
the wall. To assess the impact of this approximation, the
equilibrium meniscus profile was estimated using the ap-
proach described in Appendix B. Using saturation proper-
ties for parahydrogen at 1 bar and a contact angle of θ = 4◦

[53], the predicted capillary rise at the wall (Eq. (B.2)) is
2.3mm.

As shown in Fig. 12, the resulting area correction is
significant only in a narrow region adjacent to the contact
line, where (Rint − r)/Rint ≲ 10−3. Integrating the cor-
rected mass flux over the interface (Eq. (B.4)) at the end
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Figure 10: Pressurization results (a, b and c) and vertical temperature at t = 12h profile (d, e and f) evaluated at 6 h for the 29% (a,d), 49%
(b,e) and 83% (c,f) fill levels. The markers represent the values reported from the experiments, with measurement uncertainties of ±0.01 kPa
for pressure and ±0.1K and ±0.6K for the fluid and wall temperatures, respectively [14, 15].

of the simulation yields an increase in the estimated boil-
off rate of only 1.39% and 1.02% for the 49% and 83%
HR reference cases, respectively. For the corresponding
LR reference cases, the estimated increase is substantially
larger, at 18.01% and 19.32%.

This difference is attributed to the fact that the LR
simulations resolve the thermal boundary layer near the
contact line, leading to a more localized phase-change flux.
Consequently, a larger fraction of the total boil-off origi-
nates from the region where the capillarity-induced area
correction is largest.

These results suggest that neglecting the meniscus shape
is unlikely to be a dominant source of the discrepancy be-
tween simulated and estimated boil-off rates in the HR
reference cases. The larger corrections in the LR sim-
ulations indicate that capillarity becomes more relevant
when phase change is strongly localized near the contact
line, which is not captured in the HR grid. It should be
noted, however, that the present estimate accounts only for
the increase in interfacial area and assumes that the local
mass flux remains unchanged. Furthermore, the analysis is
based on a static contact angle of 4◦, which is close to com-
plete wetting and therefore produces a near-maximum cap-
illary rise. Larger contact angles would result in a smaller
meniscus and correspondingly smaller corrections.

4.2.2. Impact of thermal boundary conditions
To assess the impact of the thermal boundary condi-

tions, additional simulations are run using the HR ref-
erence case with variations in heat flux distribution and
lid-tank thermal conductance KH .

Fig. 14 shows the resulting temperature profiles for the
49% fill level. The impact of increasing KH by a factor of
10 is minimal, only reducing the outlet temperature at the
top of the tank by around 2K. On the other hand, enforc-
ing a uniform heat flux qw on the tank wall has a larger
impact. This results in an outlet temperature that is more
than 10K lower than the reference case, with a decreasing
difference also extending down towards the interface.

This illustrates that the effect of heat flux distribution
on the tank wall is significant, and that prescribing accu-
rate boundary conditions is important to correctly predict
the tank behaviour.

4.2.3. Impact of wall material and thickness
This section presents and discusses the impact of the

tank material (Section 3.2.4) and wall thickness.
Using AA5083 instead of AA2219 leads to considerable

overshoots of both stratification and pressurization, as is
clear from Fig. 15. The main difference between the alloys
is that the heat capacity of AA5083 is considerably lower
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Figure 11: Comparison of time averaged (10min) TKE and liquid streamlines for HR reference case and the HR case w/o buoyancy source
term Pb for the a) 49% fill level and (b) 83% fill level.
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Figure 12: Impact of capillary area correction on the mass flux for
the 83% fill level HR and LR ref. cases at t = 12h. The interface
height due to meniscus correction (Eq. (B.3)) is shown on the top.

(see Fig. 7b), which results in lower thermal mass and
higher diffusivity. This leads to more of the heat being
transferred directly to the ullage, whereas in the reference
case, a larger fraction of the incoming heat contributes to
heating tank material.

The boil-off rates are compared in Fig. 16a, and all
cases except the AA5083 simulation are close to the ref-
erence case. In contrast to the pressurization rate and
thermal stratification, the predicted boil-off rate from the
AA5083 simulation shows closer agreement with the exper-
imental estimate. This can be understood by considering
the heat flux from the wall to the fluid near the interface,
shown in Fig. 16b. The peak heat flux is observed just
below the contact line, with the reference case reaching
around 40Wm−2. Using AA5083 increases the peak heat
flux considerably, to 65Wm−2. The same is true above
the interface (in the ullage), even though the heat flux
here is generally smaller. With the increase in heat input
around the contact line, more heat is available for boil-off

generation, which is in accordance with the observations
in Fig. 16a.

The variable wall thickness is achieved by adding ex-
tra wall material around weld lands, support structures,
and around the lid, thereby increasing the thermal mass
of the tank wall. Thus, the effect is the opposite of us-
ing AA5083, as the tank will absorb more heat during the
thermal pressurization of the ullage. This leads to both re-
duced stratification and pressurization rate, in comparison
with the reference case. As seen in Fig. 15a, the temper-
ature profile is closer to the experimental reference every-
where except the uppermost sensor. The pressurization
follows the experiments more closely, capturing the reduc-
tion of dp/dt in the early stages, while avoiding the under-
prediction that occurred when not including the buoyancy
source term.

4.2.4. Sensitivity to heat flux distribution
To assess the impact of the assumed heat flux distri-

bution on the predictions, an alternative distribution was
tested in which only 75% of the total heat enters the tank
through the insulation and 25% through the lid (compared
with ∼ 86% through the insulation in the reference case).
This case is denoted HR var. wall 75 % QMLI in Figs. 15
and 16. For the 49% fill level, this increase in lid heat flux
predicts a top temperature that is much closer to what was
achieved in the reference case with constant wall thickness
(Fig. 15). The pressurization rate is also in closer agree-
ment with experiment than the variable wall case with the
reference heat flux distribution.

The same redistribution was also applied to the re-
maining two fill levels. As shown in Figs. 17 and 18, the
redistribution improved predictions at the higher fill lev-
els (49% and 83%) but degraded results at the lowest fill
level (29%). It should be noted that the assumption of a
time and fill level independent heat distribution is itself a
simplification, since in reality the distribution is likely to
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Figure 13: Boil-off rates for (a) 49% and (b) 83% fill levels. The
CFD data has been filtered with rolling average with a 15min win-
dow. The error bars represent uncertainty of boil-off estimate due to
temperature measurement uncertainty (±σ).

vary with both fill level and time. Indeed, the reference
heat leak estimates [13] were performed for a tank at ap-
proximately 95% fill level operating at steady state, and
may not be representative at lower fill levels and transient
conditions. This may partly explain why the modified dis-
tribution improves some cases while deteriorating others.

Future work should therefore consider coupling the CFD
model with a detailed thermal model of the tank structure
and insulation to obtain a more realistic heat flux distri-
bution.

5. Conclusions

In this work, a two-phase sharp-interface model for
cryogenic storage tanks has been implemented in Open-
FOAM. The model treats the liquid and ullage as single-
phase regions coupled via interfacial boundary conditions,
with the interface assumed to be at equilibrium. The ex-
isting turbulence models have been extended by adding a
buoyancy source term Pb to transport equations for k, v2,
ω and ϵ, acting as a source or sink of turbulent kinetic
energy, depending on the density stratification.

A DNS dataset of turbulent natural convection in a
differentially heated square cavity was used to assess the
predictive capability of the turbulence models and the in-
fluence of Pb. The v2 – f model performed well at both Ra
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Figure 14: Temperature profile for high-Re cases, comparing the ref-
erence case with uniform wall heat flux qw and increased KH =
1000Wm−3 K−1. Sampled at t = 8h and compared with experi-
mental measurements.

investigated, whereas the k – ω SST model underpredicted
Nu. The effect of Pb was minor in these cases, but showed
a more significant role under cryogenic conditions in the
following analysis.

The sharp-interface model was used to simulate the K-
Site experiments (4.89m3 spheroid LH2 tank). Across all
fill levels of the K-Site tank, the inclusion of the buoy-
ancy production term led to a complete suppression of
turbulence in the vapour region. Without this term, ex-
cessive turbulent mixing in the ullage resulted in an under-
prediction of both thermal stratification and pressurisa-
tion rate, consistent with observations reported in previ-
ous RANS-based studies of the same experiment. With
the addition of this source term, the k – ω SST model
achieved reasonable agreement with experiments in pre-
dicting steady pressurisation rates and thermal stratifica-
tion in the ullage across all fill levels.

In addition to validating against the reported mea-
surements of temperature and pressure, we estimated the
mass-transfer rate during the experiments using available
data (for the two highest fill levels). These estimates al-
lowed for direct comparison against the boil-off rate pre-
dicted by the CFD model, and revealed that the experi-
ments exhibit condensation at the start of pressurisation,
which is not fully captured by the CFD model. In general,
the CFD simulations underpredicted the magnitude of the
boil-off rate (both during condensation and evaporation),
but captured the qualitative trend. Using the equilibrium
meniscus profile to estimate the error associated with the
flat-interface assumption at the wall, a quantitative analy-
sis shows that this assumption contributes only marginally
to the boil-off underprediction in the HR (high-Re) cases
(∼1%), while a larger effect is observed in the LR (low-Re)
simulations (∼20%) because a greater share of the mass
transfer takes place near the wall, increasing sensitivity
to interfacial area corrections near the contact line. A
further analysis of the pressurisation mechanisms revealed
that thermal expansion in the ullage is driving pressurisa-
tion during the first hours, before boil-off dominates. This
enabled identifying the modelling errors that lead to dis-
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Figure 15: Impact of wall alloy, wall thickness and heat flux distri-
bution at 49% fill level on (a) thermal stratification at t = 4h and
(b) tank pressurization.

crepancies in pressurisation, allowing for targeted efforts
in improving future CFD models.

The influence of the thermal boundary conditions at
the tank wall was also investigated and found to be sig-
nificant. The use of a non-uniform heat-flux distribution,
together with thermal contact resistance at the lid–tank
interface, improved the prediction of ullage temperatures
in the upper region.

Accounting for variable wall thickness likewise had a
distinct effect on the pressurisation rate, underscoring the
importance of thermal mass. For future studies aiming to
model a specific tank geometry with high fidelity, a more
detailed representation of the tank structure and insula-
tion should be included in order to provide more realistic
thermal boundary conditions for the CFD model.
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Appendix A. Grid sensitivity analysis

To assess the grid sensitivity of the model, three dif-
ferent grids were considered. All grid parameters (wall
normal, wall tangential and bulk cell sizes) are scaled by a
factor 2 and 1/2 to obtain the coarse and fine grids, respec-
tively. Otherwise, all parameters are kept constant and
equal to the base-case specification in Table 1.
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The initial state is quiescent, and the simulations are
run for a simulated time of tend =10 minutes. To assess
grid convergence, the average pressurization rate is used,

Φ =
1

(tend − tstart)2

∫ tend

tstart

pi,v(t) dt, (A.1)

where tstart = 0 and tend = 10min. The results are
shown in Fig. A.19, and shows that for both the high-
Re and low-Re grids, the medium grid resolution (the one
used in the base-cases) is in the asymptotic range. The
deviations from the Richardson extrapolate is less than
1% and 0.4% for the high-Re and low-Re medium grids,
respectively.

Appendix B. Meniscus correction to interfacial boil-
off estimate

To estimate the effect of neglecting the meniscus shape
of the liquid–vapour interface near the tank wall, an an-
alytical equilibrium solution for a meniscus adjacent to
a vertical wall is used [54]. This provides an order-of-
magnitude estimate of the additional interfacial area as-
sociated with the curved interface near the equilibrium
contact line.

The capillary length is defined as

Lc =

√
σ

∆ρ g
, ∆ρ = ρℓ − ρv, (B.1)

where the surface tension σ = 1.937 × 10−3 Nm−1 for
para-hydrogen at 1.0 bar [32]. For a vertical wall with
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equilibrium contact angle θ, the corresponding capillary
rise at the wall is given by

z0 =

√
2σ (1− sin θ)

∆ρ g
. (B.2)

The equilibrium meniscus profile provides the interface
height z as a function of the wall-normal distance x from
the contact line,

x

Lc
= cosh−1

(
2Lc

z

)
−cosh−1

(
2Lc

z0

)
+

√
4 +

z20
L2
c

−

√
4 +

z2

L2
c

.

(B.3)
The profile is evaluated using saturation properties for

parahydrogen at 1 bar and a contact angle of θ = 4◦ [53].
The meniscus profile obtained from Eq. (B.3) is used

to estimate the increase in interfacial area near the con-
tact line. Assuming that the local mass flux m′′(r) remains
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unchanged, the corrected boil-off rate is calculated by inte-
grating the simulated mass flux over the modified interface
area,

ṁcorr = 2π

∫ Rint

0

m′′(r)

√
1 +

(
dz

dr

)2

r dr. (B.4)
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